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Abstract

Wrought-iron and mild-steel riveted lattice girders are common structural elements in the French
metallic construction heritage of 1850-1930. Many rafters and purlins of roof structures of train
sheds or market halls are made of flat and angle bars assembled with single-riveted joints. The
assessment of the mechanical properties of those joints is key to sensitive and targeted retrofitting
operations. Despite its influence on the buckling risk of lattice girders, the out-of-plane rotational
sti ness of the joints has not been investigated yet. To fill this gap, experimental and numerical
investigations based on modal analysis techniques were carried out on a riveted steel lattice girder
dating from 1930. The measured natural frequencies and mode shapes were used to update a
finite-element model of the girder. The results suggest that the single-riveted joints exhibit a rigid
behaviour in the out-of-plane direction. When numerically varying the rotational joint sti ness,
two indicators seem to be relevant, one based on the study of mode shapes, and the other one
linked to the presence of additional numerical modes compared to the experimental measurements.
Furthermore, a numerical study was conducted to assess the potential use of the findings to develop
a modal-based damage detection method for riveted joints. With only one measurement point on
each lattice web member, an indicator named AECOMAC, derived from the enhanced coordinate
modal assurance criterion (ECOMAC) proposed in the literature, appears capable of detecting
and localising one or several joints presenting a loss of sti ness. Overall, this paper shows that
experimental modal analysis can be an e cient tool for assessing single-riveted joints in old steel
lattice girders.

Keywords: Steel lattice girders, Riveted joints, Rotational sti ness, Modal analysis, Damage

detection

1. Introduction

Riveted lattice girders are essential representatives of wrought-iron and mild-steel structures

from the 19" and beginning of the 20" century. In France, many roof structures of train sheds
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or market halls from this period have been preserved, in which riveted lattice girders are used
as purlins or rafters (see Fig. 1). They feature repetitive constructive patterns: they commonly
consist in flats and angles assembled with single-riveted joints made by hot riveting. In train shed
restorations of the last twenty years, riveted lattice purlins or rafters have often been reinforced
because of numerically identified stability problems. The issues concerned out-of-plane buckling
of either web members or the chords (see Fig. 2). In reality however, excessive deformations
rarely occur. A refined assessment of the structural performance is therefore a key to sensitive and

targeted retrofitting operations.

Figure 1: View of the roof structure of the railway station Gare d’Austerlitz built in 1869, under renovation in 2016,

Paris, France (Picture from SNCF-AREP by M. Lee Vigneau).

The stability of trusses depending on various boundary conditions, especially the joint sti ness,
is an active and wide research field [1][2][3]. Regarding out-of-plane buckling for triangulated and
lattice structures, Eurocode 3 recommends, by default, to take the buckling length of chord and
web members equal to the system length [4]. This corresponds to the assumption that all connec-

tions are hinged in the out-of-plane direction. However, the assessment of the lateral buckling risk
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Figure 2: Common instability types identified numerically for riveted lattice girders: (a) 3D-view of a typical local
buckling mode and a global buckling mode; (b) view of a typical cross-section with the deformations associated with

a local buckling mode and a global buckling mode. k,; and k,» represent the rotational sti ness of the riveted joints.

for trusses actually depends strongly on the modelling assumptions regarding the out-of-plane ro-
tational sti ness of the joints [5]. The end restraint provided to web members depends both on the
flexural and torsional sti ness of the chords and the rotational joint sti ness at the web-to-chord
location [2]. Reciprocally, the lateral restraint provided by lattice web members to one chord,
given that the other chord is otherwise restrained, is activated by the joints’ rigidity [1]. Assess-
ing the rotational joint sti ness in riveted lattice girders can therefore favour a less conservative
assessment of their buckling risk.

The behaviour of riveted connections is the subject of numerous studies. Hot riveting fell into



disuse, but other riveting techniques are still being investigated for applications in the transport
industry [6]. In the field of structural engineering, the interest in hot-riveting is related to heritage
preservation. Experimental studies regarding hot-driven rivets have mainly focused on identifying
failure modes for simple splice joints and assessing the associated shear strength, in relationship
with various parameters related to the material properties [7] and the geometry [8]. Some testing
campaigns investigated the initial shear sti ness of lap joints [9][10]. The rotational sti ness of
riveted connections has been studied only numerically, and for more complex riveted connections
typical of old bridges [11][12][13]. The out-of-plane rotational sti ness of single-riveted joints
typical of lattice girders has not been investigated yet.

Riveted connections made by hot riveting are sensitive to the manufacturing process. The
residual tensile force in the rivets results from the driving temperature during the hot riveting
process [14] and has been shown to be e ectively largely scattered [15]. A low clamping force can
be responsible for interfacial corrosion between the joined plates, called pack rust [7], or relative
sliding. It can therefore be of interest to detect rivets providing an insu ciently tight connection
by measuring the rotational joint sti ness. As the variability of clamping forces has an e ect on
mechanical properties of riveted joints such as the slip resistance [8] and the fatigue strength [15],
the rotational sti ness of riveted joints may also be used as an indicator of the clamping force.

This paper aims to assess the out-of-plane rotational sti ness of single-riveted joints in iron
and steel lattice girders, in order to improve the buckling risk assessment on the one hand, and
to detect loose connections on the other hand. The chosen investigation method relies on exper-
imental and numerical modal analysis. This non-destructive approach has already proven useful

for the identification of the rotational sti ness of joints in existing truss structures [16][17]. The



experimental modal analysis presented in this paper was carried out on a riveted lattice girder
dating from 1930 collected from a demolition site. A finite element model of the girder was gen-
erated with Hexagon MARC software [18]. Chords and web members were modelled using beam
elements and the rotational joint sti ness was controlled by rotational springs at the connection
locations. The paper first explores which outputs of the modal analysis are best suited to assess
the average rotational sti ness of all single-riveted joints, by comparing the experimental results
with the numerical model. A numerical study is then conducted to find a modal-based indicator
capable of detecting and localising one or several joints presenting a loss of sti ness. Based on

the results, some suggestions are made regarding a damage detection procedure.

2. Experimental modal analysis

2.1. Test specimen

The studied riveted metallic lattice girder specimen was collected from a demolition site. It
belonged to the roof structure of platform sheds, built in 1930 at the railway station Gare de 1’Est
in Paris, from which a small part was dismantled in 2021 (see Fig. 3). It is a 3300 mm long Pratt-
type cantilever, with a height varying from 190 mm at its tip to 340 mm at the support (see Fig. 4).
The bar sections were taken from original plans and verified by measurements with a calliper.
The chords are made of double L.45x45x5 angles, while the web members are made of 40x7 flats.
The diagonal and vertical web members are connected to the chords by single rivets of 12 mm
diameter. The girder is made of mild steel. Visual inspection revealed neither apparent defects in

the joints nor damage to the material.
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Figure 3: Original setting of the studied lattice girder: the platform sheds of the railway station Gare de 1’Est built in

1930, Paris, France (Picture from SNCF-AREP).

2.2. Experimental setup

The original support conditions of the cantilever were reproduced in the laboratory. The struc-
ture was excited using an impulse hammer with a mass of 0.32 kg and an extra soft tip, resulting
in a frequency range of 150 Hz. To retrieve the structure’s response, 12 capacitive accelerometers,
7 single-axis and 5 tri-axis were used. Their sensitivities ranged from 100 to 1000 mV/g and their
frequency bandwidth was at least 0-100 Hz. They were fixed to the girder with magnets glued on

3D-printed plastic supports, designed to fit the accelerometers (see Fig. 5).
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Figure 4: Elevation drawing of the tested lattice girder specimen.

To obtain satisfactory mode shapes, 30 measurement points were defined, 11 on the top chord,
11 on the bottom chord and 8 on distinct web members. Measurements of modal displacements

were carried out only in the out-of-plane direction. Three sensor setups were tested (see Fig. 6):

1. A “top chord” (TC) setup with 11 accelerometers on the top chord and 1 accelerometer on
the bottom chord.

2. A “bottom chord” (BC) setup with 11 accelerometers on the bottom chord and 1 accelerom-
eter on the top chord.

3. A “web members” (WEB) setup with 8 web members equipped with 1 accelerometer at mid-
length and 4 accelerometers on the top and bottom chords. The accelerometers located on
diagonals were the single-axis ones, because their weight was lower than the tri-axis ones.
Thus their weight remained below 10% of the weight of each web member, which is the

rule-of-thumb usually recommended in practice to avoid mass loading e ects.

The two accelerometers at points 11 and 14 were present in all setups, to be used as references.
In each setup, the same test was repeated 7 times in order to get accurate results. The beam was

excited with one horizontal impulse at the tip of the top chord. The signals were recorded with
7



Figure 5: View of the instrumented girder in the laboratory.

a frequency of acquisition of 4800 Hz during 2.5 seconds. After this time, out-of-plane accelera-
tions decayed to near zero. The resulting sampling resolution was 0.4 Hz. Data acquisition was
performed with the HBM Quantum X system, with a module MX1615B and a module MX1601B,

and the associated software catman [19].

2.3. Digital signal processing

For each test, the excitation and response signals were transformed from the time domain to
the frequency domain using Fast Fourier Transformation (FFT). The power spectral density S ;¢
of the excitation and the cross-spectral density of excitation and response S . were then computed

as a multiplication of Fourier transform and Fourier transform conjugates:

S 11(w) = F(w).F*(w) (1)
S (@) = X().F* () @)

Where F(w) and X(w) are the FFT transforms of the excitation (input) and the response signal

(output) respectively. As each test was repeated 7 times, the spectral densities were averaged out.
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()
Figure 6: Sensor setups: (a) TC setup; (b) BC setup; (c¢) WEB setup.

They were then used to calculate an estimator of the frequency response function (FRF):

S, f
Str

H(w) = 3)

Modal parameters were extracted using the “line-fit” method [20], through an adapted existing
Matlab code [21]. This single-degree of freedom “SDOF’ method, performing a curve-fitting

procedure for a single mode at a time, could be used instead of a more complex global method
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because the modes were su ciently distinct.

3. Finite element modelling

3.1. Finite elements

The finite element model was built with Hexagon MARC software (see Fig. 7). The chords and
web members were modelled using beam elements. Originally, all beam elements were 2-node
elastic straight Bernoulli elements with cubic normal displacement interpolation (type 52 from
MARC’s element library [22])). The chords and web members fulfilled the Bernoulli conditions
in terms of aspect ratio in the out-of-plane direction (i.e. length-to-thickness ratio above 10). The
assumption behind this verification was that the reference length for the chords corresponded to the
wavelength of the highest studied mode, which was about 3.1 m. When the beam elements were
modelled using type 52, the torsional sti ness factor, corresponding to the St Venant torsional
constant, had to be entered manually and was computed for each section with the formulas for
thin-walled open sections and solid rectangles ([23]). However, the numerical results were not in
satisfactory agreement with the experimental results. So the chords were modelled instead with
2-node straight thin-walled elements with linear interpolation including warping as an additional
degree of freedom at each node (type 79 from MARC’s element library). The web members
remained with type 52 elements as warping is negligible for solid sections.

The gussets at both ends and the vertical angles at the support were modelled with triangular 3-
node shell elements (type 138 from MARC’s element library). The short vertical angles connecting
the end gusset to the rest of the girder were modelled together as Timoshenko beam elements (type

98 from MARC'’s element library).
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The average element size was 10 mm. As a result, the model contained 9446 elements and 5489
nodes. The chosen mesh size ensured su cient accuracy while providing computation e ciency.

The cpu time to compute the first 10 modes was inferior to 5 seconds.

(@)

(b)

Figure 7: View of the finite element model, with associated element types. (a) outline display style; (b) expanded

display style.

3.2. Material properties

The girder was made of mild steel. The elastic modulus was taken equal to 200 GPa [24] and
the Poisson’s ratio equal to 0.3. The volumic mass of the structure was supposed to be about 7850
kg/m?, in line with the recommendations of the current Eurocodes for the self-weight of steel
[25]. To take into account the weight of the rivets, the accelerometers and the 1 mm-thick layer
of paint, an estimated equivalent volumic mass of 8450 kg/m?® was implemented. The influence of

the uncertainty regarding material properties on the modal behaviour is discussed in Sec. 4.1.
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3.3. Boundary conditions

At the cantilever support, the displacements of the surfaces of the vertical angles facing the wall
were fixed, probably resulting in a more rigid support condition than in reality. At the connection
between chords and web members, two distinct nodes were preserved. Local coordinate systems
were defined at each connection, with the z-axis going along the web member, and the x-axis
pointing in the out-of-plane direction (see Fig. 8). The connecting nodes were tied for all degrees
of freedom (DOF) except for DOF 5 corresponding to the out-of-plane rotation. For DOF 5, the
connection was modelled with a spring of varying sti ness k,. To model the extreme case of a
hinged connection (k, = 0), the connecting nodes were left independent from each other for this
DOF, with no coupling condition. To model the other extreme case of a perfectly rigid connection

(k. = 00), the nodes were tied for this DOF.

4. Results and discussion

The finite element model presented in section 3 takes the rotational sti ness of riveted joints as
an input parameter. The modal properties of this model will now be compared to the experimental
results. First, the same rotational sti ness will be attributed to all riveted joints in order to estimate
which average value of the rotational sti ness yields the best agreement with the experiments and
which modal-based indicators are the most useful for this purpose. Then, the rotational sti ness
will be locally modified for some joints, in order to develop a modal-based indicator for damage

detection.
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Figure 8: (a) Connections modelled with rotational springs for DOF 5; (b) Detail of local coordinate systems at the

connections.

4.1. Comparison of experimental results with a numerical reference model

Experimental modal parameters were extracted for the first six modes observed on the FRFs,
with frequencies below 100 Hz (see Fig. 9). Those experimental results were first compared with
the modal properties of a numerical reference model. The reference model was chosen to be the
model with perfect rigid connections, that is where connection nodes are tied for all 6 degrees of
freedom. In the frequency range of interest, the reference model yielded 7 modes: 6 out-of-plane
modes that could be fairly paired with the ones identified experimentally, and 1 in-plane mode, that
could not be accounted for with the presented experimental setups. Table 1 displays the average

values of the frequencies measured for the 6 modes identified experimentally and the frequencies
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of the corresponding numerical modes. The numerical frequencies are up to 10% higher than
the experimental ones, as expected for this model with conservative sti boundary conditions
at the cantilever support. Table 1 also presents the standard deviations that were obtained from
the measured eigenfrequencies for each accelerometer in all three setups, which amount to 36
measurements in total. The frequencies were measured with a precision below 5%. Regarding
uncertainties from the numerical model, it was admitted that the uncertainty on the elastic modulus
was situated in the range 190-210 GPa, while the uncertainty on the volumic mass was estimated
between 8300 and 8600 kg/m>. The resulting uncertainty on the numerical frequency of each mode
is a constant 3.4% compared to the reference model. Regarding the mode shapes, the considered

variation of material properties had no influence.

Figure 9: Inertance magnitude at point 17 in the BC setup.

Fig. 10 presents a comparison of numerical and experimental eigenfrequencies and mode shapes,
for the six first out-of-plane modes. The plotted mode shapes are equivalent to a top view of the
deformed structure, as only out-of-plane dis-placements along the global horizontal axis x are

presented. Mode shapes were normalised following this procedure:
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Figure 10: Comparison of numerical and experimental mode shapes (out-of-plane displacements plotted along global

horizontal axis).

Table 1: Experimental frequencies, with their standard deviation (sd), and corresponding numerical frequencies ob-

tained with the reference model.

1. The experimental mode shapes were first re-scaled so that the maximum amplitude of the top

or the bottom chord was equal to 1.
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2. The numerical mode shapes were then re-scaled so as to obtain the best fit between the

numerical and experimental mode shapes of the chords (least-square method).

The mode shapes were found to be in very good agreement for the first four modes. Real
discrepancies appeared for modes 5 and 6. In Fig. 10, the numerical median between top and
bottom chords’ displacements is plotted as a dotted line. It enhances that in mode 5, the numerical
mode shape exhibited large web member deformations, while in the experimental mode shape,
web member deformations remained closer to the median. Fig. 11 provides a visualization of the
numerical mode shape of the 5™ out-of-plane mode. In mode 6, the fitting between experimental

and numerical mode shapes is overall less satisfactory.

Figure 11: 3d-view and top view of the deformed and original states of the structure for the 5" mode, obtained with
the numerical reference model (fully rigid connections). The colours correspond to di erent quantities of out-of-plane

displacements along z-axis.

This section presented the tools used to compare the finite element model with the experimen-
tal results. The comparison was first made for a numerical reference model in order to validate
the modelling assumptions presented in section 3. In this reference model, the riveted joints were

modelled with tied nodes, which corresponds to perfectly rigid connections (k, = c0). Now di er-
16



ent values of rotational sti ness k, will be implemented.

4.2. Assessment of the average rotational stiffness of the riveted joints

In order to assess the average rotational sti ness of the riveted joints, a parametric study was
conducted. The outputs of the numerical modal analysis for di erent input values of the rotational
joint sti ness k, were compared to the experimental results as for the reference model, to identify
which sti ness k, yielded the best agreement with the measurements. The same sti ness k, was
attributed to all riveted joints.

The range of studied sti ness values was defined based on the sti ness indice R [26]:

L
R=k— 4
kg “)

Where L and EI are the length and the rigidity of the web member connected to the riveted
joint of interest. In the case of a hinged connection, R is equal to 0, while in the case of a rigid
connection R is tending towards the infinity. To model a near-hinged connection, R must be small,
while to model a near-rigid connection, R must be large. Sti ness values were therefore chosen so
that R varied approximately between 0.01 and 100. The same rotational sti ness k, was assigned
to all connections, even though web members had varying lengths. As a consequence, to obtain
roughly R = 0.01 and R = 100 for all the web members, k, was taken equal to 10* N.mm/rad
and 10® N.mm/rad respectively. k, = 10° N.mmj/rad was tested as an intermediary case. It is ac-
knowledged that the same joint sti ness does not o er the same degree of restraint to all web
members.

Table 2 presents the obtained frequencies for di erent values of joint sti ness. The maximum

considered frequency was chosen as the frequency of the 6™ out-of-plane mode of the reference
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model (f=106.15 Hz). As reducing k, from the infinite (perfectly “rigid” connection) to zero (per-
fectly “hinged” connection) decreased the overall rigidity of the structure, the expected frequencies
corresponding to the experimental modes had to be lower than 106.15 Hz.

Considering the frequencies of the first five out-of-plane modes, it seems from Table 2 that
the model with hinged connections provides a better agreement with the measured frequencies
presented in Table 1. However, it must be reminded that the support conditions of the numerical
model were sti er than reality, potentially yielding higher frequencies. The frequencies of the first
modes are therefore not considered as a reliable indicator in this study. Indicators other than the
frequencies need to be be proposed.

Table 2 highlights one important e ect of lowering the out-of-plane rotational joint sti ness:
in the models with lower sti ness k,, a number of additional modes appeared. Those modes were
dominated by the deformations of one or several web members. Despite measurement points
being located on web members in the WEB setup, those modes were not observed experimentally.
The horizontal dashed line in Table 2 shows the limit above which it was not possible to attribute
numerical modes to experimental ones. For example, in the model with k, = 10° N.mm/rad, the
modes 7 and 8 had close frequencies and mode shapes, and they were not in satisfactory agreement
with the experimental 6™ mode. Thus the presence or absence of additional modes compared to
the modes identified experimentally is an indicator suggesting that the models with higher sti ness
k, are in better agreement with the experiments.

Moreover, the numerical and experimental mode shapes of the six first out-of-plane modes
were quantitatively compared through a quality criteria L, proposed in [17]. For each mode r, this

quantity measures the gap between the numerical and the experimental mode shapes, based on the
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Table 2: Eigenfrequencies of the numerical modes in the frequency range [0-106.15] Hz.

MAC matrix (“Modal Assurance Criterion”) [17]:

H 2
|87 hum-Prexpl

it Priexp-P
r,num*Yrnum - r,exp - 1,exXp

L, =1-MAC, =1- (5)

Where ¢, is the eigenvector containing the mode shape deformations of mode r at the 30 mea-
surement points of the three combined experimental setups. The exponent H indicates a horizontal
vector. MAC, is the sum of the diagonal elements of the MAC matrix. The “num” and “exp” sub-
scripts correspond to the values obtained numerically and experimentally. L, varies between 0
and 1. The closest L, is to 0, the better the agreement between experimental and numerical mode
shapes is.

Table 3 presents the values calculated for L,. Those values decrease when the sti ness in-
creases. L, is then another indicator suggesting that the model with rigid connections best rep-
resents the experiments. The increase of L, when &, decreases was mostly e ected due to larger
web deformations in the numerical model. As an example, the numerical mode shape of mode 5

19



obtained with the “hinged” model is presented in Fig. 12. From the comparison with Fig. 11, itis

conspicuous that the web deformations become out-of-proportion.

Table 3: Quality criteria L, comparing numerical and experimental mode shapes for di erent values of k..

Figure 12: 3d-view and top view of the deformed and original states of the structure for the 5" mode, obtained with
the “hinged” numerical model. The colours correspond to di erent quantities of out-of-plane displacements along the

Z-axis.

In this section, it was shown that attributing a lower rotational sti ness k, to the riveted joints of
the lattice girder yielded a less good agreement between numerical and experimental results than
with the numerical reference model with perfect rigid joints. Two indicators were proposed to lead
to this conclusion. The first indicator is the presence or absence of additional numerical modes,

dominated by the vibration of web members. The second indicator is more quantitative and relies

20



on the quality criteria L,, derived from the MAC matrix, measuring the gap between numerical

and experimental mode shapes.

4.3. Detection of a faulty riveted joint

In section 4.2, it was assumed that the structure was healthy and that all riveted joints had
the same rotational sti ness. However, in reality, the level of pre-stress is likely to vary amongst
the rivets, either because of initial variations during riveting operations or because of ageing, as
was mentioned in the introduction. Di erent clamping forces probably induce variations of the
rotational sti ness amongst riveted joints. An investigation was therefore carried out to predict
whether a defective riveted joint, presenting a lower rotational sti ness than the other joints of a
lattice girder, could be detected by modal analysis and to determine which modal-based indicator
could be used. For this purpose, damages were numerically introduced into the finite element
model of the structure, by locally attributing a lower sti ness to some riveted joints. Only single-
damaged models were analysed, in which only one riveted joint was released. Three specific cases
were tested, corresponding to introducing damages at three selected riveted joints located at the

end of vertical or diagonal web members, close or far from the cantilever support (see Fig. 13).

Figure 13: Location of the riveted joints that were numerically faulty.
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4.3.1. Need for a refined indicator

First, single-damaged models were built, in which one riveted joint (v2T, d2B or d6T) was
modelled as a hinged connection (k, = 0) while all other riveted joints were modelled as rigid
connections. No significant change compared to the reference model could be observed with the
indicators used in section 4.2. The computed modes stayed the same, with similar frequencies
and mode shapes. No additional mode appeared (see Tab. 4). The quality criteria L, did not vary

significantly either (see Tab. 5).

Table 4: Eigenfrequencies of the numerical modes in the frequency range [0-110] Hz obtained with the reference

model (REF) with no damage (ND) and single-damaged models (SD).

Table 5: Quality criteria L, comparing numerical and experimental mode shapes for di erent single-damaged models.

L, is a quantity indicating the global correlation of two sets of mode shapes, for one mode. It

22



is understandable that this quantity is little a ected when only one connection exhibits a di er-
ent behaviour. It was therefore necessary to find a mode-shape related parameter indicating for
each individual measurement point the local variation of correlation between the experimental and

numerical results, taking into account several chosen modes.

4.3.2. ECOMAC between single-damaged models and the reference model

The most classical parameter attempting to identify which measurement degrees-of-freedom
contribute negatively to the correlation between two sets of mode shapes is the coordinate modal
assurance criterion (COMAC)[20]. In order to avoid biases linked to the definition of modal
vectors, the enhanced coordinate modal assurance criterion (ECOMAC) was developed [27]. The
ECOMALC between two sets of mode shapes, typically numerical and experimental mode shapes,

is defined as:
Sr () — 2 ())
2n

ECOMAC][setl,set2](j) = (6)

where ¢*!!(j) and ¢*(j) are the components of the mode shape vector of mode r at measurement
point j for two sets of data, and » is the number of modes taken into account.

The e ectiveness of the ECOMAC was tested by comparing the mode shapes derived from
the numerical reference model, where all joints are rigid, and the mode shapes derived from a
single-damaged model. As an example, Fig. 14 presents the values of ECOMAC[num®®, num™P]
obtained from the comparison of a single-damaged model (num®P), where the rotational restraint
was released (k. = 0) at joint d2B, and the reference model with no damage (num™P). Those
values were computed for the components of the mode shapes corresponding to the location of
measurement points in the experiments. The first four out-of-plane modes were taken into account.

A clear peak can be observed at measurement point 25, which corresponds to the sensor placed
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Figure 14: ECOMAC[numSP, num™P] (n = 6) between the single-damaged model (d2B - k, = 0) and the reference

model with all joints rigid.

on web member d2, which is connected to the bottom chord by joint d2B. Similar results are
obtained when releasing the rotational restraint at v2T and d6T: peaks appear at measurement
points 24 and 29 respectively. Thus it seems that the ECOMAC is capable of identifying the web
member connected to a released joint. This result is in line with the common assumption used by
damage detection methods relying on mode-shape related parameters, that the damage is located

at the location or at the vicinity to where the change of mode shape function is the greatest [28].

4.3.3. ECOMAC between single-damaged models and the experiments

After validating that the ECOMAC could localise a damage introduced in a numerical model,
the study aimed to verify whether the ECOMAC was capable of detecting a local discrepancy be-
tween the single-damaged models and the experimental results from the tested structure. Assuming
the lattice girder presented in this paper is healthy, the computation of the ECOMAC between the
experimental mode shapes and the numerical mode shapes derived from a single-damaged model

could be expected to yield a peak as in the comparison of the single-damaged model with the
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reference model. However, it is not the case. Fig. 15 presents the values of ECOMAC[numSP,
exp] obtained from the comparison of the single-damaged model (num3P), where the rotational re-
straint was released (k, = 0) at joint d2B, with the experiments (exp). Taking into account the first
six out-of-plane modes (n = 6), the values of ECOMAC appear to be relatively evenly distributed
over the measurement points. This is probably due to the many sources of discrepancy between
the experiments and the numerical modelling, that prevail over the value attributed to the sti ness

of one individual riveted joint. The ECOMAC therefore needs to be adapted.

Figure 15: ECOMAC[numSP, exp] (n = 6) between the single-damaged model (d2B - k, = 0) and the experiments.

4.3.4. Introduction of AECOMAC

In order to filter out the “noise” created by the various sources of discrepancy other than the
joint sti ness, it was decided to calculate a di erential ECOMAC. This new index AECOMAC
is the di erence between the ECOMAC obtained from the comparison of the experiments and

a damaged model, and the ECOMAC obtained from the comparison of the experiments and the
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reference model:

AECOMAC[num®?, num™P]( j) = ECOMAC[num°P, expl()) -
— ECOMAC[num™P, exp](})

Fig. 16 presents the di erential ECOMAC between the ECOMAC[numSP, exp] calculated for
the model damaged at joint d2B (k. = 0) and the ECOMAC[num™P, exp] calculated for the refer-
ence model. A clear increase of the ECOMAC stands out at measurement point 25, corresponding
to the sensor placed on diagonal d2, which is connected to the bottom chord by joint d2B. A pos-
itive peak means that locally the experimental mode shapes show a larger discrepancy with the
damaged model than with the reference model, which confirms that the tested structure is healthy.
It seems that the di erential ECOMAC would allow to detect and localise a riveted joint with a
lower rotational sti ness: the parameter AECOMAC is capable of identifying the web member
connected to this joint, which narrows the localisation down to only two riveted joints. Again,
the advantage of considering the di erence of ECOMAC between the damaged model and the
reference model is that it strongly reduces the discrepancies between experimental and numerical
results that are not related to the joint sti ness. While many damage identification procedures rely
on a well-correlated reference numerical model of the healthy structure [29], this approach allows
for a larger initial discrepancy between the reference model and the experimental results. Similar
results were obtained when the rotational restraint was released at joints v2T and d6T. Peaks of
AECOMAC were then obtained at measurement points 24 and 29 respectively.

Until now, the presented ECOMAC and AECOMAC values took into account the first six out-

of-plane modes, assuming more data would convey more information. However, computations

revealed that taking into account the first four or five out-of-plane modes (n = 4 or n = 5) is
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Figure 16: AECOMAC[num3P, numNP] (n = 6) for the single-damaged model (d2B - k, = 0).

optimal to obtain unequivocal peaks. Including the sixth mode leads to less clear peaks because
the reference correlation between the experiments and the reference model for this mode is not
very good. Including less than four modes does not provide useable results because the rotational
sti ness of riveted joints has a negligible impact on the three first modes. Taking four or five

modes into account is therefore a good compromise.

4.3.5. Sensitivity of AECOMAC

Further simulations were conducted to evaluate the sensitivity of the criterion AECOMAC. The
study investigated how important the loss of sti ness at a riveted joint should be to obtain a clear
positive peak at the expected measurement point. It was found that peaks of AECOMAC were
obtained even when the sti ness of a joint was very little reduced compared to the reference model.
Clear peaks were observed even for a joint sti ness reduced locally to k, = 10® N.mm/rad, which
remains very close to a rigid joint. However, the absolute value of the peaks is then very small
(see. Fig. 17). When the rotational sti ness is set to zero for joint d2B, the peak of AECOMAC at

point 25 has an absolute value of about 4.1 x 1073 for n = 4. When the rotational sti ness is set to
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k, = 108 N.mm/rad, then the peak has an absolute value of only 6.6 x 107>,

Figure 17: AECOMAC[numSP, numNP] (n = 4) for the single-damaged model (d2B - k, = 10 N.mm/rad).

To establish a threshold of what a significant peak is, the absolute value of the obtained peaks
was compared to the ECOMAC[num®, num™P] obtained at the corresponding location. The idea
is that the di erence between experimental and numerical results originating in a local di erence
of joint sti ness remains smaller than the di erence between the reference model and a single-
damaged model where the rotational restraint is fully released (k, = 0). When a peak is obtained,

it can be “normalised”, yielding a ratio {:

AECOMAC[num5P(k,), num™P]( )
() =

ECOMAC[numSP(k, = 0), num™"]( ) ®

Fig. 18 presents the evolution of ¢ for di erent values of reduced joint sti ness k,. For exam-
ple, when a reduced joint sti ness k, is a ected to joint d2B, peaks of AECOMAC are obtained at
measurement point 25. {(j = 25) is then computed. The denominator corresponds to the ECO-
MAC comparing the reference model and the model with damaged joint d2B (k, = 0). Let us set

that a “significant” loss of sti ness corresponds to a local sti ness k. = 10’ N.mm/rad, about 10
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times smaller than an almost rigid joint k&, = 103 N.mm/rad. From Fig. 18, it can be established
that with n = 4, such a loss of sti ness can be detected by a ratio { of about 0.1, which means that
the value of the peak of AECOMAC is about 10% of the ECOMAC between the reference model

and the single-damaged model with &, = 0.

Figure 18: Ratio ¢ at the peak location for di erent values of k. a ected to the corresponding damaged joint. Four

modes were taken into account (n = 4).

4.3.6. Recommendations for a damage detection procedure

The investigation carried out showed that AECOMAC was capable of enhancing discrepan-
cies between the healthy tested structure and numerical single-damaged models. How could
AECOMAC be applied if damages were to be detected in an unknown potentially unhealthy riveted

lattice girder? The proposed approach derived from the presented study would be:

1. to build a reference numerical model in which all riveted joints are modelled as rigid.

2. to compute AECOMAC for a series of single-damaged models in which the rotational re-
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straint is partially released for one riveted joint of the structure. The sti ness k, of the nu-
merically damaged joint could correspond to R = 10 (instead of R = 100 for an almost rigid
joint - see Eq. 4).

3. to detect negative peaks of AECOMAC. Indeed, if a damaged model provides locally a
better agreement of numerical and experimental mode shapes than the reference model, then
it would mean that the corresponding numerically damaged joint e ectively exhibits a lower
sti ness in reality.

4. to assess whether detected peaks are significant, by calculating the ratio £.

The drawback of mode-shape based methods is the necessity of having measurements from a
large number of locations [29]. With the proposed approach, it becomes necessary to have only
one measurement point on each diagonal. For on-site detection, the method could be implemented

through a roving excitation on the diagonals, with only a few sensors located on the chords.

5. Conclusion and perspectives

This paper showed how modal analysis could be applied to assess riveted joints in old wrought-
iron and mild-steel lattice girders in order to improve retrofitting operations. An experimental
modal analysis was conducted on a riveted steel lattice girder and the results were confronted with
modal properties obtained from a finite element model of the girder. The main conclusions are the

following:

e The single-riveted joints of riveted lattice girders exhibit a rigid behaviour regarding out-
of-plane rotation. The numerical reference model with rigid joints yielded a satisfactory

agreement with the experiments. Decreasing the rotational joint sti ness k, in the model
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resulted in a less good agreement between numerical and experimental results. Assuming
rigid riveted connections would induce a decrease of the estimated buckling risk of lattice
girders based on an eigenvalue analysis. Case studies still need to be carried out to evaluate
the gain of stability when modelling the riveted joints as rigid instead of hinged. This could

then e ectively minimise strengthening measures related to retrofitting operations.

Two modal-based indicators were identified to obtain information on the rotational joint sti -
ness. The first indicator is the presence or absence of additional numerical modes, dominated
by the vibration of web members. The second indicator is the gap between numerical and ex-
perimental mode shapes, due mostly to the deformations of the web members, and measured

through quality criteria L,.

A numerical study was conducted to predict the ability of modal analysis to detect faulty riv-
eted joints, with a lower rotational sti ness than the majority of the joints in the considered
girder. The proposed indicator AECOMAC, comparing the agreement between the experi-
mental mode shapes and numerical mode shapes from a reference model with rigid joints and
a series of single-damaged models, seems to be able to localise the web members connected
to “faulty” joints. This numerical study was predictive and requires experimental validation.
A further experimental investigation is planned, in which the rivets of the tested lattice girder
will progressively be replaced by bolts, with di erent levels of pre-stress. The impact on the
modal properties will be measured using the various indicators presented in this paper. This
experimental study should also help establish a relationship between the rivet clamping force

and the resulting rotational joint sti ness.
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